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The paper investigates the basic mechanism of aeroservoelastic pilot-assisted oscillation about the roll axis due to the
interaction with pilot’s arm biomechanics. The motivation stems from the observation that a rotor imbalance may occur as
a consequence of rotor cyclic lead–lag modes excitation. The work shows that the instability mechanism is analogous to air
resonance, in which the pilot’s involuntary action plays the role of the automatic flight control system. Using robust stability
analysis, the paper shows how the pilot’s biodynamics may involuntarily lead to a roll/lateral instability. The mechanism
of instability proves that the pilot biodynamics is participating in the destabilization of the system by transferring energy,
i.e., by producing forces that do work for the energetically conjugated displacement, directly into the flapping mode. This
destabilizes the airframe roll motion, which, in turn, causes lead–lag motion imbalance. It is found that, depending on the
value of the time delay involved in the lateral cyclic control, the body couples with rotor motion in a different way. In the
presence of small or no time delays, body roll couples with the rotor through the lead–lag degrees of freedom. The increase of
the time delay above a certain threshold modifies this coupling: The body no longer couples with the rotor through lead–lag
but directly through flap motion.
Nomenclature
aseatY lateral acceleration at the pilot’s seat, g
B (p) input matrix of the helicopter model
C (p) damping matrix of the helicopter model
D output matrix of the helicopter model
fn off-diagonal driving force
GY loop transfer function gain
G1C gearing ratio between lateral control inceptor
displacement and blade cyclic pitch rotation,
deg/%
Hnom (s,p) nominal loop transfer function
HPP (s) structural pilot model transfer function, %/g
HYC (s,p) ,HYS (s,p) helicopter transfer functions, m·s−2·rad−1
ℑ(·) imaginary part
j imaginary unit
K (p) stiffness matrix of the helicopter model
M (p) mass matrix of the helicopter model
P(k)C damping force-phasing matrix for the kth mode
P(k)K stiffness force-phasing matrix for the kth mode
P(k)M mass force-phasing matrix for the kth mode
p vector of trim parameters of the helicopter
model
q state vector of the helicopter model
q
(k)
0 initial condition coefficient for the kth mode
R main rotor radius, m
ℜ(·) real part
Tp structural pilot model real pole time constant, s
Tz structural pilot model zero time constant, s
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u input vector of the helicopter model
y output vector of the helicopter model
αY , αX body pitch and roll angles
α(k) coefficients for the mass force-phasing matrix
β1C, β1S main rotor cyclic flap angles
β (k) coefficients for the damping force-phasing
matrix
γ (k) coefficients for the stiffness force-phasing
matrix
δY lateral cyclic control inceptor rotation, %
ζ1C, ζ1S main rotor cyclic lead–lag angles
ϑ1C, ϑ1S main rotor cyclic pitch angles
λk generic kth eigenvalue
μP structural pilot model gain, %/g
ξ structural pilot model complex poles damping
factor
τY loop transfer function time delay, s
φ(k) generic kth eigenvector
 main rotor angular speed, rad/s
ωn structural pilot model complex poles frequency,
rad/s
˙(·) time derivative, d/dt
(·)′ azimuthal derivative, d/dψ
Introduction
Adverse interactions between rotorcraft dynamics and human pilot
belong to the challenging area of rotorcraft–pilot couplings (RPCs).
These phenomena occur when the pilot introduces an inadvertent or
unintentional command in the control system as a consequence of the ve-
hicle dynamics, resulting in oscillatory or divergent motion, difficulty in
performing the desired tasks, and, ultimately, loss of control (Refs. 1–3).
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The interaction between the pilot and the vehicle can be classified into
two categories. The first one, called pilot-induced oscillations (PIO), is
a sustained or uncontrollable unintentional oscillation resulting from the
efforts of the pilot to control the aircraft (Ref. 4). Although the name puts
all the blame on pilots, the fault for the phenomenon does not lie with
pilots themselves. Pilots can exacerbate the situation since they are driven
by the oscillation. Generally, a PIO results from a deficient flight control
system or vehicle response. Moreover, according to Ref. 4, a PIO can be
identified when the airplane attitude, angular rate, normal acceleration,
or other quantity derived from these states, is approximately 180 deg
out of phase with the pilot’s control inputs. Since the human operator’s
bandwidth is inherently limited, interactions of this nature take place
at low frequency, specifically affecting the flight mechanics modes or
system dynamics below 1 Hz (see Ref. 5).
The second category, called pilot-assisted oscillations (PAO), is the
result of the unintentional, involuntary application of controls caused by
vibrations of the cockpit. In this case, the mechanism of the interaction
is completely different from that of PIOs, because vibrations are usually
at frequencies above those of the human operator’s bandwidth, generally
between 2 Hz and 8 Hz (Ref. 5). During PAO events, the pilot interacts
with the higher frequency aeroelastic modes of the vehicle.
PIO and PAO have been widely investigated in relation with fixed-
wing aircraft (Refs. 6–10). Rotary-wing aircraft PIOs received some
attention throughout the years (Refs. 11, 12). Recently, RPC awareness
was reviewed for the design of modern and innovative rotorcraft of en-
hanced performances and maneuverability (Ref. 1). Research on PAO
phenomena for rotorcraft is ongoing. A good overview of PAO instabil-
ities encountered on several U.S. Navy rotorcraft is reported by Walden
in Ref. 13. In Europe, Hamel and Ockier (Refs. 11, 12) reported some
critical RPC problems encountered with the German Aerospace Center’s
(DLR) ATTHeS (Advanced Technologies Testing Helicopter System)
system, a modified BO105 helicopter equipped with a full authority
nonredundant fly-by-wire (FBW) control system for the main rotor and
fly-by-light system for the tail rotor. Similarly, tiltrotor aircraft have
been subject to PAO events starting from the development of the XV-15
technology demonstrator. The V-22 Osprey suffered from aeroservoelas-
tic pilot-in-the-loop couplings, as described, for example, by Parham et
al. in Ref. 14.
During activity performed under the umbrella of GARTEUR Heli-
copter Action Group HC AG-16 (Ref. 5), the collective bounce phe-
nomenon was deeply investigated. It is a RPC phenomenon caused by
vertical vibrations in the aircraft cockpit that are transmitted to the col-
lective lever through the torso, the left arm and the hand of the pilot and
fed back to the rotor through the collective pitch control. The key factor
was identified as being caused by the phase margin reduction introduced
by the main rotor coning mode in the collective pitch–heave loop transfer
function (Ref. 15).
PAO occurrences on the longitudinal and lateral axes should be less
critical, since changes in cyclic pitch control do not cause immediate hor-
izontal force imbalance, but rather pitch/roll moments, which are usually
filtered by the low-pass behavior of the main rotor in most conventional
rotorcraft, especially articulated ones. However, Refs. 12, 13, 16, and 17
report that the lateral axis tends to be also critical for PAO especially when
a stability augmentation system (SAS) or an automatic flight control sys-
tem (AFCS) is included in the pilot–vehicle system (PVS). Examples
of such PAO occurrences have been reported in the United States on
the CH-46D/E Sea Knight, the SH-60B Seahawk, the CH-53E Super
Stallion with external loads (see Ref. 13) and in Europe on the BO105
(Ref. 12) and the EC135 (Ref. 16) research helicopters of the German
Aerospace Center. PAOs were determined as the result of uncommanded
pilot inputs interacting with the first vertical and lateral fuselage bending
modes through the AFCS.
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(a) Course layout for the roll step maneuver
(b) Lateral acceleration measured at the pilot’s seat
Fig. 1. Roll step maneuver (from Ref. 19).
The interaction between the pilot biodynamics and the vehicle dynam-
ics are often amplified by the SAS/AFCS especially on the roll/lateral
axis. However, artificial stability is necessary on helicopters since ro-
tary wing aircraft are generally less stable than conventional fixed wing
ones. Usually, phugoid and Dutch roll modes are intrinsically unstable in
hover and low flight speed. A SAS/AFCS is often needed to reduce the
pilot workload. The research performed in ARISTOTEL project (2010–
2013) on RPC phenomena (Refs. 1, 2) identified also PAO occurrences
for the roll axis dynamics involving pilot biodynamics (Refs. 18, 19).
Figure 1(a) presents a visual scene of the roll step maneuver performed
in the simulator. The maneuver, developed at the University of Liverpool
for tiltrotor handling qualities evaluation and subsequently adapted to
helicopters (Ref. 20), is a modification of the slalom maneuver defined
in Aircraft Design Standards (ADS) 33 (Ref. 21). It is designed to check
both the vehicle’s ability to maneuver in forward flight and the coordi-
nation required to perform the task. In the roll step maneuver, the pilot is
flying as follows: From hover position along one edge of the runway, the
pilot accelerates and flies through a series of gates traversing the runway
from one side to the other in a specified distance. The roll step maneuver
performed in ARISTOTEL was flown by two test pilots in a BO105-type
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helicopter. Test pilot #1 triggered a PAO instability (see Fig. 1(b)) in the
roll axis when flying at 80 kt initial condition. Reference 22 showed that
this instability was a result of an aeromechanical instability created by
the lightly damped main rotor regressive lead–lag mode at 2.26 Hz cou-
pled to the pilot biodynamics/lateral control inceptor dynamics. While
pilot #1 was not able to complete the roll step task, the biodynamics of
pilot #2 were not excited. The dependency of the outcome of the maneu-
ver on the biodynamics of the test pilots calls for further investigation.
Consequently, this work is developed to look for answers to questions
such as: What is the PAO mechanism of roll axis fed back through pilot
biodynamics? What is the simplest mathematical model able to capture
this phenomenon? Why is this instability triggered only in some cases
and not in others?
The paper proceeds as follows: The first section describes the
roll/lateral PAO phenomenon and suggests a simple closed-loop model
able to capture the PAO instability. Since the basic mechanism is quite
similar to the well-known air resonance (AR), in which the airframe
roll mode is coupled with the regressive cyclic flap and lead–lag rotor
modes, a development of the six-degree-of-freedom (DOF) AR analyti-
cal model of Gandhi and Chopra (Ref. 23) is proposed. Its comparison
with a detailed aeroservoelastic (ASE) helicopter model is presented to
show that the main dynamics are well captured. The PVS is built by
adding the pilot’s biomechanics and a simple AFCS in feedback loop
to the six-DOF AR model. Results of the PVS are discussed using two
complementary techniques: the robust stability analysis and the force
phasing matrices (FPM) approach. The first technique is used to exploit
the robust stability of the PVS with respect to the AFCS parameters
variation, which are considered uncertainty variables. The second one is
used to reveal what are the most relevant DOF and which are interacting
when the instability arises. The last section brings the paper to closure
by drawing conclusions about the work performed.
Problem Description
This paper investigates the basic mechanism of aeroservoelastic PAO
about the roll axis due to the interaction between vehicle roll motion and
pilot’s right arm biomechanics.
The motivation stems from the observation that a rotor imbalance
may occur as a consequence of the excitation of the cyclic lead–lag
modes. Such imbalance could excite the airframe rotation about the roll
axis, causing in turn a lateral acceleration of the cockpit. The pilot could
thus induce involuntary lateral deflection of the cyclic control inceptor,
resulting in a potentially adverse closure of the control loop about the roll
axis. This instability mechanism is analogous to the AR. AR is typical of
helicopters with hingeless or bearingless rotors. Hingeless or bearingless
main rotor designs compared to articulated main rotors are capable of
building up large hub moments, which enhance the maneuverability and
the aircraft response to pilot inputs. Generally, these vehicles are not
prone to ground resonance; thus, they seldom have lead–lag dampers,
as the aerodynamic in-plane damping is sufficient to stabilize the lead–
lag motion. However, in some cases, the lightly damped first lead–lag
regressive mode can interact with the flight mechanics modes (body roll
and/or pitch), leading to an instability in air (see Refs. 24–26). Events
where the pilot’s involuntary control inputs were exciting the AR mode
are described, for example, by Refs. 16,17, and 27. As exemplified in the
Introduction, this instability was also observed experimentally during
test campaigns performed in the flight simulator of the University of
Liverpool (Refs. 18, 22).
To understand the phenomenon, a simple closed-loop numerical
model able to represent the basic mechanism of pilot–vehicle interac-
tion is developed by connecting (a) the pilot’s biodynamics between the
lateral acceleration of the pilot seat and the lateral control inceptor posi-
tion; (b) a basic AFCS model, simplified as a gain-time delay block; and
(c) a six-DOF analytical helicopter model, including the cyclic flap (β1C
and β1S) and lead–lag (ζ1C and ζ1S) main rotor DOF, coupled with the
pitch (αY ) and roll (αX) body motions.
The model is built for a helicopter that resembles the Messerschmitt-
Bo¨lkow-Blohm (MBB, now Airbus Helicopters) BO105. This hingeless,
soft in-plane rotor system entered service in 1970. At its time, such a
rotor design was a pioneering innovation for helicopters.
To compare the results of the six-DOF AR model with a more de-
tailed and validated model, a full-state aeroservoelastic model of the
BO105 has been realized in MASST (Modern Aeroservoelastic State
Space Tools), a tool developed at Politecnico di Milano for the aeroser-
voelastic and aeromechanical analysis of rotorcraft (Refs. 28,29). Com-
paring the two models, it was observed that the dynamics of interest,
included in a bandwidth overlapping that of the pilot biomechanics, is
generally well captured by the six-DOF analytical model. However, the
six-DOF model overestimates the damping of the low-frequency lead–lag
regressive mode. It has been shown in Ref. 30 that the static residualiza-
tion of the blade cyclic pitch dynamics is sufficient to recover the correct
lead–lag damping.
A gain-time delay block is a rough approximation of a real AFCS.
However, in a preliminary design phase, when the AFCS architecture
has not been yet defined, it can well represent the uncertainty operator.
The gain and the time delay have a direct impact on the gain and phase
margins of the closed-loop system. Using the robust approach (Ref. 31),
it is possible to define the stability boundaries for the AFCS design, to
avoid roll/lateral PAO proneness.
Regarding pilot biodynamics, this work uses the results of several
biodynamic feedthrough (BDFT) tests that have been conducted in the
HELIFLIGHT flight simulator of the University of Liverpool, during the
ARISTOTEL project test campaign performed in July 2012 (Refs. 18,22).
The pilot’s biodynamic transfer function (TF) of lateral cyclic with input
lateral acceleration was identified with the structure:
δY
aseatY
= HPP (s) = −μP sTz + 1
sTp + 1
1(
s
ωn
)2
+ 2ξ s
ωn
+ 1
(1)
where aseatY is the acceleration measured in g (1 g = 9.81 m/s2) and δY is
the rotation of the cyclic control inceptor measured in percentage with a
range of±100%. The model of Eq. (1) is consistent with models proposed
in the open literature (Refs. 32–35); the pilot transfer functions are similar
to the ones measured in-flight and reported in Ref. 14. This model is a
simplification of the classical “precision model” developed by McRuer
et al. (Ref. 36), focused on high-frequency dynamics. It represents the
classical neuromuscular dynamics through two complex-conjugate poles
in Eq. (1) (p1/2 = −ξωn ± jωn
√
1− ξ 2). They are usually well damped
(25% or more) and lie in the 2–3 Hz range. The real, low-frequency
pole (p3 = −1/Tp) represents the integral contribution of the pilot’s
voluntary action. The zero, z = −1/Tz—usually at high frequency—
restores the correct asymptotic behavior of the transfer function. Data
for the three pilots considered in this work are shown in Table 1. It is
worth noticing that the static gain μP of the transfer function of pilot #1
is significantly higher than that of the other pilots. The differences in the
results obtained for pilot #1 are probably related to their anthropometric
characteristics: Pilot #1 belongs to the 99th percentile in terms of height
and weight, showing somewhat different biomechanical properties from
those of an average individual.
It is also worth remarking that, since the pilot dynamics are highly
nonlinear, a database of pilot’s BDFT should be identified for the same
pilot flying different mission tasks. However, this is an ambitious and
expensive target. Generally, for tasks of increasing complexity pilots tend
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Table 1. Pilot/lateral stick dynamic properties
Pilot #1 Pilot #2 Pilot #3 Units
μP 216.26 88.67 83.88 %/g
Tz 0.02 0.05 0.03 s
Tp 0.51 0.49 0.26 s
ξ 26.87 23.11 39.66 %
ωn 14.12 19.05 16.14 rad/s
to be more concentrated and reactive, enhancing their neuromuscular
tension. During the experimental tests for the identification of the pilot’s
BDFT described in Ref. 22, the pilot’s only task was to try to maintain
the stick in its nominal initial position, simulating a hover precision task.
However, with the same pilot’s BDFT it was predicted, and reproduced
at the flight simulator of the University of Liverpool, the roll/lateral
PAO instability occurred with test pilot #1, during the roll step task at
80 kt.
Finally, a research group from Politecnico di Milano is currently
working at a detailed multibody model of the pilot upper limbs
(Refs. 37–39). The pilot’s BDFT can be estimated from the multi-
body model, considering pilots with different anthropometric charac-
teristics that perform different tasks. This approach promises to be much
faster and cheaper than the experimental identification of the pilot’s
BDFT.
Helicopter Model
The RPC phenomena on the roll axis experienced in ARISTOTEL’s
project experimental campaign presented several similarities with AR.
Numerical predictions of roll/lateral PAO instabilities performed on he-
licopters with hingeless or bearingless main rotor show that the vicinity
of pilot’s biodynamic poles to main rotor lightly damped first regressive
lead–lag mode may lead to a reduction of the phase margin of the PVS
(Ref. 22). The phenomenon involves the modal participation of the main
rotor cyclic flap and lead–lag modes, and the fuselage rigid roll and pitch
modes, as for AR, which interact with pilot’s biodynamics.
The mechanism through which the lateral PAO instability evolves is
sketched in Fig. 2. The cycle starts when a lateral cyclic pitch control is
introduced by the pilot into the control chain. Both cosine and sine cyclic
dynamics must be taken into account when using multiblade coordinates,
since cyclic terms are strongly coupled. The blades pitch dynamics mod-
ifies the angle of attack of each blade, inducing a flapping motion which
in turn changes the tip path plane of the main rotor, generating pitch
and roll moments. The aerodynamic forces are mainly responsible for
Flap induces
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Fig. 2. The lateral PAO mechanism of instability.
the couplings between the pitch and the flap dynamics. The Coriolis
terms cause couplings between the flap and the lead–lag motions and
between the rotor and body motions. A secondary—but nonnegligible—
contribution is due to the aerodynamic coupling of the lead–lag with the
flapping motion. In turn, the cyclic lead–lag modes ζ1C and ζ1S cause
an in-plane shift of the rotor center of mass from the axis of rotation,
producing vibratory roll and pitch moments, and lateral and longitudinal
vibrations that are transmitted from the rotor hub to the pilot seat.
Analytical model
The starting point to build an analytical model for roll/lateral RPC is
the models originally developed to investigate AR, like the one presented
in Ref. 23. These models consider six DOF: the two cyclic flap (β1C, β1S),
the two cyclic lead–lag (ζ1C, ζ1S), and the two airframe roll and pitch (αX ,
αY ) ones, which are included in the independent coordinate vector q. The
lateral and longitudinal displacements are assumed to have only a minor
effect (Ref. 24) and are thus neglected. The aeromechanical system in
second-order form is
M (p) q′′ + C (p) q′ +K (p) q = B (p) u, (2a)
y = R2Dq′′ (2b)
where matrices M, C, and K include both the structural and aerodynamic
contributions, which are functions of the trim parameters p. The super-
script ()′ denotes the derivative with respect to the azimuthal coordinate
ψ = t . The control vector u contains the lateral and longitudinal cyclic
pitch angles, namely u = {ϑ1C ;ϑ1S}. The output y is the lateral acceler-
ation measured at the pilot’s seat, y = aseatY . For a rigid fuselage model,
it can be expressed as a linear combination of the second derivative of
the independent coordinate vector elements, from Eq. (2a). The terms of
the matrices can be found in Refs. 23 and 24.
The linearized helicopter dynamics can be expressed in the Laplace
domain to obtain an algebraic relation between the two inputs and the
single output, namely
y(s) = s2R2D (M (p) s2 + C (p) s +K (p))−1B (p) u(s) (3)
The resulting equation is the combination of two transfer functions
aseatY = HYC(s,p) ϑ1C +HYS(s,p) ϑ1S (4)
that represent, respectively, the transfer function between the lateral
cyclic and the lateral acceleration at the pilot seat, and the transfer func-
tion between the longitudinal cyclic and the same lateral acceleration.
The lightly damped low-frequency vibrations caused by the lead–lag
regressive mode can interact with the pilot’s biomechanic poles in the
lateral direction, which are in the 2–3 Hz range, creating a feedback
path through involuntary lateral cyclic control inputs to the main rotor
dynamics.
Usually, an instability may arise in this loop when an AFCS is in-
cluded in the PVS. In particular, the introduction of a gain and a time
delay between the control inceptor motion and the swashplate servoac-
tuators may reduce the PVS gain and phase margins.
Detailed model
A comparison of the above-described six-DOF analytical model with
the BO105 aeroservoelastic model used in the ARISTOTEL’s project
flight simulator test campaign was performed. This was done to check
whether the analytic model is adequate to represent the basic elements re-
quired to predict the instability phenomenon. The full BO105 aeroelastic
model was validated against flight-test data as presented in Ref. 22.
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The aeroservoelastic BO105 was built using MASST. All models
obtained in MASST are linear time invariant (LTI), computed using
coefficient averaging to eliminate any periodicity whenever the rotors are
not in axial flow conditions. The airframe structural model is represented
by the six rigid body modes. The rotor has been modeled considering
three bending modes, two torsion modes, and the three state Pitt–Peters
dynamic inflow model (Ref. 40). The tail rotor is modeled as a rigid
teetering rotor; coning and teetering modes have been considered for the
two-blade teetering rotor. Typical linear servoactuator transfer functions
are defined for the three actuators of the main rotor swashplate and for the
single actuator of the tail rotor. The model includes sensors for positions,
velocities, and accelerations at the pilot seat in the longitudinal, lateral,
and vertical directions and three sensors for measuring the roll, pitch,
and yaw angular rates p, q, r . Finally, the airframe stability derivatives,
resulting from the contribution of the fuselage/wing body, the horizontal
tail, and the vertical tail have been estimated using the aerodynamic
coefficients lookup tables provided in Ref. 41, to take into account the
low-frequency flight dynamics behavior. The general characteristics of
the aircraft were taken from Refs. 5 and 41.
Model verification and validation
The LTI MASST model of the BO105 is characterized by 62 states.
The root locus in hover, Sea Level Standard (SLS) International Standard
Atmosphere (ISA) + 0o condition is shown in Fig. 3(a) up to 110 rad/s;
Fig. 3(b) presents a detail of the low-frequency roots. The eigenvalues are
compared with those obtained from the six-DOF AR analytical model.
The full-state MASST model is able to represent the low-frequency
eigenvalues associated with the modes that are relevant for flight me-
chanics (see Fig. 3(b), bottom). Dutch roll, phugoid, heave subsidence,
and spiral modes show the trends reported in Chapter 4 of Ref. 41. Long-
period pitching oscillations, related to phugoid dynamics, are unstable.
The effect of the dynamic inflow model is significant on the flap/rigid
body modes, which are associated with the longitudinal and lateral dy-
namics of the rotor tip path plane coupled with the body angular rates.
Flap roots are well damped, whereas, owing to the absence of lead–
lag dampers, the lead–lag regressive and progressive poles are located
quite close to the imaginary axis, as shown in Fig. 3. As a result of
the blade flexbeam stiffness, the regressive lead–lag root shows a small
natural frequency compared with helicopters of the same class featuring
an articulated main rotor.
The eigenanalysis of the six-DOF AR analytical model returns two
real and four complex-conjugate poles. The eigenvalues are shown in
Fig. 3 and reported in Table 2, with the corresponding mode shapes. The
open-loop system is stable, since all roots have negative real parts. Pitch
and roll subsidence roots, related to the helicopter stability derivatives
M/q and L/p , are well captured (Ref. 41).
Several differences can be noticed in Fig. 3 between the two mod-
els. The full-state MASST flap progressive mode is quite close to the
Table 2. Eigenvalues of six-DOF AR model – hover, SLS
Eigenvalue Frequency Damping
Mode (rad/s) (Hz) (%)
Pitch subsidence −4.292 — —
Roll subsidence −10.806 — —
Flap regressive −7.870± j8.159 1.298 69.42
Lag regressive −0.595± j13.924 2.216 4.27
Lag progressive −1.103± j77.317 12.305 1.43
Flap progressive −14.609± j91.216 14.517 15.81
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Fig. 3. Eigenvalues: six-DOF AR model vs. MASST model.
corresponding mode computed by the six-DOF AR model, although less
damped. The difference is caused by the absence of inflow dynamics in
the AR model.
The lead–lag regressive and progressive frequencies are well corre-
lated between the two models, but the MASST lead–lag roots are less
damped. In particular, the damping reduction on the regressive root is
more than 50% in the full-state MASST model (4.27% of the AR model
vs. 2.01% of the MASST one; Fig. 3(b)). Finally, in the full-state MASST
model the low frequency flap regressive mode is coupled with the pitch
and the roll subsidence modes, generating two complex-conjugate roots.
These effects are related to the interaction between the pitch and roll
airframe dynamics and the inflow lateral and longitudinal dynamics,
which reduce the aerodynamic loads during the transients and the modal
damping of the flap dynamics. The two dynamical models were thor-
oughly compared in Ref. 30, where it was shown that (a) the effects of
the rigid fuselage lateral mode and of the servoactuator second-order
dynamics (with a cutoff frequency of about 10 Hz) reduce the phase
angle of the MASST TF between the lateral cyclic pitch control and the
lateral seat acceleration in the bandwidth between 2.5 and 10 Hz. At
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Table 3. Eigenvalues of six-DOF AR model with residualized
pitch dynamics: hover, SLS
Eigenvalue Frequency Damping
Mode (rad/s) (Hz) (%)
Pitch subsidence −3.276 — —
Roll subsidence −11.224 — —
Flap regressive −8.516 ± j8.214 1.307 71.97
Lag regressive −0.307 ± j13.970 2.223 2.19
Lag progressive −0.928 ± j77.509 12.336 1.20
Flap progressive −14.542 ± j88.213 14.039 16.26
frequencies above 10 Hz, the lead–lag progressive peak can be noticed,
respectively, at 12.3 Hz in the six-DOF AR model and 12.7 Hz in the
full-state MASST model; (b) the inflow dynamics has a negligible effect
in the 2–8 Hz frequency range.
In conclusion, the six-DOF AR analytical model gives a reasonable
representation of the essential PVS dynamics in the bandwidth of interest
related to PAO phenomena, although there are important shortcomings.
In particular, the analytical model overestimates the damping of the re-
gressive lead–lag mode, unless the static residualized effect of the blade
cyclic pitch dynamics is included. These dynamics are usually character-
ized by higher frequencies when compared with the first flap or lead–lag
dynamics and thus they are usually neglected. However, the static tor-
sional compliance contribution spilled out on the low-frequencies main
rotor dynamics is essential to capture the correct lead–lag damping , as
reported in Ref. 30. The importance of the torsional static compliance
has been already highlighted for other RPC phenomena (e.g., collective
bounce) in Refs. 42 and 43, where it was shown that both the main rotor
control chain compliance and the blade torsional elasticity required a
lower pilot’s gain to reach the verge of stability. Conversely, the same
analyses performed with a rigid control chain and torsionally rigid blades
were characterized by higher stability margins. Again the contribution
of the torsional compliance was static since the first blade torsion mode
was one decade higher than the unstable mode.
The eigenvalues obtained with the updated six-DOF AR model, which
includes the static residualization of the blade pitch dynamics, are re-
ported in Table 3. The lead–lag regressive damping decreases from 4.27%
of the original six-DOF AR model (Table 2) to 2.19% for the six-DOF
AR model with residualized pitch dynamics, reaching a value closer to
the 2.01% of the full state MASST model.
The effect of the lightly damped lead–lag regressive mode can be also
observed in Fig. 4, where the Bode plot of the TF between ϑ1C and aseatY is
shown. The TF obtained with the six-DOF AR analytical model including
the static residualization of the blade pitch dynamics clearly shows a
more pronounced peak at the regressive lead–lag frequency. This model
can be considered adequate for preliminary studies of roll/lateral PAO
phenomena, since it is able to reproduce the roll/lateral PAO instability
described in Ref. 22. The analytical model reveals the relevant DOF of the
instability and allows for investigating of the fundamental cause of lead–
lag regressive mode destabilization by the pilot. The next paragraphs will
look for a deeper understanding of the physical mechanism of lead–lag
instability involving pilot biodynamics. In this sense, two approaches
will be used: (1) robust stability analysis and (2) energetic analysis of
the system in the so-called FPM approach.
Robust Stability Analysis for Understanding Lead–Lag Instability
through Pilot Biodynamics
Instead of using the classical eigenvalues investigation, the robust
stability analysis approach can be exploited. This approach gives infor-
100 101
100
101
102
103
Frequency (Hz)
M
ag
.
(m
/s
2
/r
ad
)
 
 
Air resonance 
Air resonance (RES)  
100 101
−200
−100
0
100
200
Frequency (Hz)
P
h
as
e 
(d
eg
)
Fig. 4. Bode plot of HY C : original AR model vs. updated AR model
with residualized (RES) blade pitch dynamics.
mation about the grade of stability with respect to parameter variations
(Refs. 31,44,45). Hence, stability analysis is performed using complex-
variable transfer functions and exploiting the generalized Nyquist crite-
rion (Ref. 46), which, in the present case, can be formulated as (see, e.g.,
Ref. 47 for a proof)
Given a single input-single output (SISO) dynamic system
H (s) and an uncertainty operator K(s) = GY e−sτY (where
GY and τY are real numbers, with GY positive) that are
in feedback loop, the system is marginally stable whenever
the frequency response of the loop transfer function (LTF)
P (jω) = H (jω)K(jω) crosses the critical point in the complex
plane (−1+ j0).
In the case at hand, the nominal LTF can be easily obtained by
directly feeding the pilot/lateral control inceptor dynamic model (1) into
the vehicle model:
Hnom(s,p) = −G1C HPP (s) HYC(s,p) (5)
where G1C is the gearing ratio between the lateral control inceptor dis-
placement and the rotor lateral cyclic pitch; for the BO105 model used in
the flight simulator was G1C = −0.05 deg/%. The minus sign in Eq. (5)
is introduced because the pilot contribution provides a negative feedback
loop closure.
The uncertainty operator represents a possible variation of gain or
time delay that may be introduced in the control loop by the simplified
AFCS model used here. Consequently, the stability boundary can be
found analytically by solving for ˆGY (ω) and τˆY (ω) the complex-variable
equation
ˆGY e
−jωτˆYHnom(jω,p) = −1 (6)
for all frequencies ω ∈ [−∞,+∞]. This means that
ˆGY =
∣∣∣∣ 1Hnom(jω,p)
∣∣∣∣ (7a)
θ (ω) = tan−1 (τˆYω) = − Im(Hnom(jω,p))Re(Hnom(jω,p)) (7b)
Thus Bode plots of Hnom(jω) can be used to evaluate ˆGY (ω) and τˆY (ω).
The Nyquist plot of the detailed BO105 MASST model connected
to the model of pilot #1 at a gain of GY ≥ 2.5 and for a time
022004-6
INSTABILITY MECHANISM OF ROLL/LATERAL BIODYNAMIC ROTORCRAFT–PILOT COUPLINGS 2018
−3 −2 −1 0 1 2 3
−3
−2
−1
0
1
2
3
Real
Im
a
g
V
∞
 =     0.0 kt
V
∞
 =   80.0 kt
V
∞
 = 120.0 kt
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SLS. MASST model.
delay of 140 ms (obtained by adding a delay of 100 ms the one that
is intrinsic of the flight simulator filters and hardware time delay, which
is about 40 ms), is shown in Fig. 5 for several flight velocities. At 80 kt,
the model predicts a marginally stable system; the experiments from
ARISTOTEL described in the Introduction (see Fig. 1) indeed found an
incipient PAO instability. Consequently, it can be stated that the numeri-
cal model reasonably predicts the stability of the PVS (see Ref. 22).
In addition, Fig. 5 shows that increasing the flight speed increases the
proneness of roll/lateral PAO to instability. This trend has been obtained
for all the test pilots. Robust stability margins decrease when increasing
the flight speed, since higher accelerations are perceived by the pilots
due to the higher control moments generated by the main rotor (Ref. 22).
However, such proneness is also present in the Nyquist plot in hover
conditions. Looking at pilot #1 characteristics as described in Table 1,
it appears that this pilot showed a quicker behavior with a high-gain
representative of a more reactive piloting, since the associated structural
gain, μP , is approximately 2.5 times higher than that of pilots #2 and
#3. A higher gain pilot destabilizes the lead–lag mode (Ref. 22). As
the task workload increases with increasing helicopter velocity, the pilot
will tend to increase their neuromuscular activation, driving the lead–lag
mode unstable (Ref. 48).
Robust stability analysis: Numerical results
Robust stability analyses have been carried out for the combination
of two values of gain GY and time delay τY : nominal, GY increased up
to a factor 3.0 and a time delay up to 140 ms, in hover SLS ISA + 0o
flight conditions. The robust approach has been applied to the six-DOF
AR analytical model with residualized blade pitch dynamics, in feedback
loop with the identified pilot’s BDFT of Eq. (1) and the basic AFCS. For
instability to occur, the gain must increase such that the LTF exceeds
0 dB and the time delay must increase to a point that phase margin is
depleted. The high-gain increase ensures that a 0 dB crossover frequency
is present. The combination of high gain and time delay then decreases
the phase margin to the point of instability. Generally, the introduction
of a time delay in piloted flight simulation increases the workload of
the pilot, especially when performing a precision task involving the roll
axis. An increase in time delay alone beyond 100 ms has been reported in
Ref. 49 to reduce the handling qualities of the BO105 about the roll axis
from level 1 to level 2. Thus it represents a candidate for the trigger of
PIO and PAO events. It is worth noticing that, in the presence of excessive
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delay, many pilots may chose to back out of the loop and thereby reduce
their workload because the delay prevents tight control. In these cases, it
would become difficult to complete the task or to comply with adequate
performances. In the proposed work it is assumed that the pilot is focused
to complete a precision task, where a continuous control of the vehicle
by the pilot is requested.
Time delays in the control system of actual aircraft can be introduced
by FBW systems, specifically by the digital acquisition and filtering of
control device motion and by signal processing before feeding inputs
to the actuators. Delays of the order of 80 ms are plausible, but higher
values have been reported, especially in early experimental aircraft (see,
e.g., the discussion in Ref. 1).
The Nyquist plot of the configuration with nominal gain and no time
delay, Fig. 6(a), remains inside the circle of unit radius. The correspond-
ing closed-loop system is characterized by robust stability margins. The
lightly damped lead–lag regressive mode of the main rotor produces an
enlargement of the LTF’s lobe between 2.1 Hz (indicated with △) and
2.5 Hz (indicated with ). The differences between the three test pilots
are clearly visible. Test pilot #1 is characterized by a larger lobe caused
by a static gain of the pilot’s biodynamic TF (μP = 216.26 %/g; Table 1)
higher than that of the other pilots. Moreover, the LTF of test pilot #1 is
the most shifted toward point (−1+ j0) in the Argand plane (see Fig. 6)
compared with that of the other two test pilots.
The configuration characterized by a larger lateral gearing ratio
(GY = 3.0) and no time delay is shown in Fig. 6(c). The increase in
gain alone is not sufficient to cause the locus of any of the LTF curves to
circumvent the point (−1+ j0).
The time delay produces a clockwise rotation of the Nyquist curves.
The effect of the time delay alone does not destabilize the PVS (see
Fig. 6(b)) although the Nyquist curves become closer to the critical point
(−1 + j0) in the frequency region of the main rotor regressive lead–lag
mode.
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Finally, the combination of an increased gearing ratio and time delay
drives test pilot #1 to the PAO condition (Fig. 6(d)). Test pilots #2 and
#3 are not predicted to jeopardize the stability of the coupled system as
severely as pilot #1. The LTFs for pilots #2 and #3 also result in a reduced
phase margin, which would make the system unstable with an additional
50–100 ms of time delay. However, time delays higher than 140 ms were
considered unrealistic by the pilots, as the workload would have become
intolerable and vehicle-handling qualities would have deteriorated too
much.
It should be noted that the PAO predicted for the BO105 is related to
the loss of stability margin of the lateral acceleration/cyclic pitch control
LTF caused by the spillover of the lightly damped regressive lead–lag
mode (see also Ref. 30).
In conclusion, with a gain GY increased to 3.0 and a time delay τY
of 140 ms, the six-DOF AR model coupled with the pilot’s biodynamics
produces a PAO instability in hover. This result is slightly more conser-
vative, compared with the numerical predictions obtained with pilot #1
flying the full-state ASE BO105 in hover (Ref. 22), where the same val-
ues of gain and time delay returned a marginally stable PVS. However, it
is posited that the proposed model can be used to predict the roll/lateral
PAO proneness on hingeless/bearingless helicopters during an early de-
sign stage, since it is able to capture the roll/lateral PAO phenomenon.
Moreover, with a simple, parametric, model of the helicopter dynamics,
it is possible to investigate the PAO instability mechanism and the DOF
that activate it, as shown in the next section.
Force Phasing Matrices Analysis for Understanding Lead–Lag
Instability through Pilot Biodynamics
Identifying the path of these energy flows for a given instability
gives a complementary point of view to the previous analysis and can
help the system designer to mitigate it. The energy flows can be found
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Fig. 8. Numerical values of the FPMs for GY = 3.0 and τY = 0 ms.
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by using the FPM approach as proposed in Ref. 50. The FPM technique
consists in identifying which DOF mutually pump energy into each other
around an unstable equilibrium of a system. The presence of an unstable
mode in a linear system means that at least one of the system’s states
amplitude will grow exponentially if perturbed from equilibrium. In order
for its amplitude to grow exponentially, one can intuitively understand
that some power is increasingly being exchanged by the given DOF
with a source. To identify the energy flows, the first step consists in
finding the driving forces. These forces are defined as the ones that are
in phase with a given DOF velocity. In an autonomous linear system
casted into the conventional mass M (p), damping C (p), and stiffness
K (p) matrices, each line of the system of equations is the formalization
of an equilibrium of forces and moments. By computing the eigenvalues,
λk , and the eigenvectors, φ(k), of the system, each DOF can be expressed
through an eigenbasis, namely,
q =
∑
q
(k)
0 · e
λk t · φ(k) (8)
where a set of arbitrary multiplying coefficients, q (k)0 , is also included in
Eq. (8) to satisfy an arbitrary initial condition. By only expressing the
component of the preceding equation with respect to the kth eigenvector,
the nth line of the system of equations separated into terms based on their
position (diagonal or nondiagonal) and nature (mass, damping, stiffness)
would be
mnnλ
2
kφ
(k)
n + cnnλkφ
(k)
n + knnφ
(k)
n
+
∑
j =n
(mnjλ2k + cnjλk + knj )φ(k)j︸ ︷︷ ︸
fn
= 0 (9)
The first three terms can be called inertia, damping, and elastic forces,
whereas fn can be interpreted as an excitation force of the nth DOF.
Since the eigenvalues are usually complex numbers, one could see the
four terms of Eqs. (9) as a sum of vectors in the complex plane that result
in the null vector. If we suppose the kth mode to be unstable, then the real
part of λk is positive. If we only look at the eigenvalue with a positive
imaginary part (for the sake of simplicity and without loss of generality),
then its argument θk is between 0 and 90 deg. By finding a transformation
such that the damper force equals unity and is aligned with the real axis in
the negative direction, one would obtain Fig. 7. The forces with positive
real part have a component in phase with the velocity of the given DOF;
as such, they are defined as driving forces. Such a transformation is given
by the FPM (Ref. 50),
P(k)M =
[
p
(k)
Mij
]
= −ℜ
[
[mij ]×
[
α
(k)
j
β
(k)
i · cii
]]
(10a)
P(k)C =
[
p
(k)
Cij
]
= −ℜ
[
[cij ]×
[
β
(k)
j
β
(k)
i · cii
]]
(10b)
P(k)K =
[
p
(k)
Kij
]
= −ℜ
[
[kij ]×
[
γ
(k)
j
β
(k)
i · cii
]]
(10c)
where the product is a term by term product and α, β and γ are defined
such as
{α(k)} = λ2k{φ
(k)} (11a)
{β (k)} = λk{φ(k)} (11b)
{γ (k)} = {φ(k)} (11c)
Driving forces are in practice the extradiagonal terms of the FPMs (see
the example of Fig. 8). At each line, only the largest (biggest contributors)
driving forces that mutually pump energy into corresponding DOFs are
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β1c β1s ζ1c ζ1s αx θ1cαy v δy
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v
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Fig. 9. No instability, energy flows for GY = 3.0 and τY = 0 ms.
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Fig. 10. Lead–lag regressing mode eigenvalue for varying GY and τY .
β1c β1s ζ1c ζ1s αx θ1cαy
Pilot to flap
Roll/flap
Flap/lag
Flap/lag
v δy
β1c
β1s
ζ1c
ζ1s
αx
θ1c
αy
v
δy
Fig. 11. Instability, energy flows for GY = 3.0 and τY = 140 ms.
highlighted. To mutually pump energy into each other, a large positive
real term in a phasing matrix needs to have a symmetric positive term
with respect to the diagonal of the matrix. The arrows of Fig. 8 point
the driving force to the respective excited DOF. For example, if we take
the first line of the first numerical FPM in Fig. 8, only one extradiagonal
term can be highlighted: It is positive, and, symmetrically to the diagonal,
another positive term is found. As a result, ζ1s is pumping energy into β1c
and reciprocally. Once this is done for the three matrices, a more visual
simplified (in terms of relevant DOFs) and qualitative way of looking at
the results is presented in Fig. 9. In this figure, each color represents an
energy loop of DOFs that mutually pump energy into each other. Looking
for the position of the original terms in the mass, damping and stiffness
matrices gives the analytical expressions of the critical forces.
A first step in the application of FPM interpretation in the present
case first requires one to recast the system’s equations. In the problem
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Fig. 12. Numerical values of the FPMs for GY = 3.0 and τY = 140 ms.
at hand, the matrices M (p), C (p), K (p) as given by Eqs. (2) need
to be extended with pilot biodynamics. For this purpose, the transfer
functions representing pilot biodynamics (see Eq. (1)), lateral cyclic
control gain, and time delay need to be transformed from the Laplace
domain to time domain. It is proposed to add v, δY , and ϑ1C as state
variables to the system’s equations. The time delay is modeled by a
Pade´ approximation of the second order. Considering a time delay of
140 ms, the corresponding phase delay at the frequency of the unstable
eigenvalue, i.e., about 2 Hz, is about 100 deg. A second-order Pade´
approximation is relatively accurate in representing the phase delay up
to 180 deg. As a consequence, its choice is deemed acceptable in the
present case. The additional equations due to pilot and AFCS therefore
become
μP a
seat
Y + Tp v˙ + v = 0 (12a)
1
ω2n
¨δY +
2ξ
ωn
˙δY + δY − Tzv˙ − v = 0 (12b)
ϑ1C +
τY
2
˙ϑ1C +
τ 2Y
12
¨ϑ1C −GYG1C
(
δY −
τY
2
˙δY +
τ 2Y
12
¨δY
)
= 0
(12c)
The addition of ϑ1C as a state variable to the equations of motion results
in extra aerodynamic terms in M (p) ,C (p) ,K (p) matrices that can be
directly obtained from the input matrix B (p) in Eq. (2a).
Energy flows during instability: Numerical results
As stated earlier, when both GY and τY are increased, the lead–lag
regressive mode might become unstable (see Fig. 10).
To better understand the mechanism behind this potential instability,
it is proposed to map the energy flows in two cases: the first for GY =
3.0 and τY = 0 ms, for which the absence of time delay leads to a stable
system, and the second by increasing τY to 140 ms to drive the system
unstable. The computation of the FPMs leads to the results shown in
Figs. 9 and 11, in which the main involved vicious energy circles can be
identified.
In both cases, two main vicious energy circles involving flap/lag are
present. However, a comparison between these figures shows that the time
delay in the lateral cyclic controls modifies the way the body couples with
rotor motion. In presence of small or no time delays, body roll couples
022004-10
INSTABILITY MECHANISM OF ROLL/LATERAL BIODYNAMIC ROTORCRAFT–PILOT COUPLINGS 2018
with the rotor through the lead–lag DOF. The increase of the time delay
to 140 ms modifies this coupling: The body no longer couples with the
rotor through lead–lag but directly through flap motion (see Figs. 11 and
12). It is interesting to observe that the pilot biodynamics participate in
the destabilization of the system by transferring energy into the flap DOF,
rather than directly into the lead–lag DOF. Indeed, the direct effect of the
pilot’s input is on the pitch of the blade, which almost directly translates
into flapping moment, causing the response of the flapping DOF. Flap
motion produces roll motion through aerodynamic forces and lead–lag
motion through Coriolis forces. If not damped enough, these motions
become divergent. So, this is the mechanism of the regressive lag mode
destabilization in the adverse roll axis instability via pilot biodynamical
feedthrough coupling.
Conclusions
The analysis performed in this work leads to the conclusions discussed
in the following.
1) The interaction between the pilot biodynamics and the vehicle
dynamics about the roll/lateral axis appears to be critical, and may lead
to PAO.
2) The combination of the AFCS gearing ratio and the time delay
proves to be the critical factor for PAO susceptibility. An increased
gearing ratio combined with a time delay in the order of 140 ms (obtained
by adding a delay of 100 ms to the one that is intrinsic of the flight
simulator filters and hardware, which is about 40 ms) applied to the
vehicle model in flight at 80 kt was shown to represent a marginally
stable system and proved to drive a test pilot into the PAO condition
during piloted flight simulation experiments.
3) The six-DOF AR model, characterized by a selected number of
parameters, is able to capture the PAO phenomenon in which the poorly
damped lead–lag regressive mode becomes unstable when coupled with
the pilot’s biodynamics. So, it can be used to predict instabilities during
an early design stage of the helicopter.
4) Using an energetic approach to understand the basic mechanism
through which regressive lead-lag mode induces aeroservoelastic PAO
about the roll axis, this work showed that the pilot biodynamics is feeding
the system destabilization by inputting energy into the flap DOF. Flap
motion becomes roll motion through aerodynamic forces, and lead–lag
motion through Coriolis forces. Roll body motion, in turn, couples with
the rotor through the flap DOF. Unless sufficiently damped, these motions
become divergent. This is the mechanism of the regressive lead–lag
mode destabilization in the adverse roll axis instability via pilot BDFT
coupling. It is interesting to observe that, depending on the value of
the time delay involved in the lateral cyclic control, the rotorcraft body
couples with rotor motion in a different way. In the presence of small or
no time delays, body roll couples with the rotor through the lag DOF.
The increase of the time delay to 140ms modifies this coupling: the body
no longer couples with the rotor through lag but directly through flap
motion.
At this point, a final remark on the use of flight simulation for PAO
investigation seems appropriate. Flight simulators are generally able to
reproduce the dynamics of rotorcraft within a certain degree of fidelity.
Consequently, PIO and PAO phenomena can be predicted by flight sim-
ulator test campaigns. However, it is worth noticing that whereas the
vehicle dynamics are repeatable, the pilot’s behavior might not be. In
real flight, PIO (or PAO) events similar to those occurring in simulated
flight can appear. However, not only intrinsic differences between the ac-
tual and the simulated vehicle, but also differences in the pilot’s response
to the different environments could mask existing, or even, on the con-
trary, expose non-existing PIO (or PAO) proneness. As a consequence,
comparing simulated and real flight results is not an easy task. Nonethe-
less, flight simulator test campaigns aimed at PIO/PAO investigation are
useful to highlight potential instability mechanisms that could otherwise
go unnoticed until late into flight testing of aircraft.
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